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Summary

In this work the reliability of bond wire connections in insulated

gate bipolar transistor (IGBT) modules is addressed. The bond wires

are made of thick pure aluminum wires wedge-bonded on molybdenum
strain buffers. Such an interface degrades during the operation of the

module due to thermo-meclianical fatigue. Since railroad-traction appli¬
cations require lifetimes of several decades a method must be developed
to extrapolate lifetime information obtained from accelerated lifetime

tests towards field conditions.

The first step was to investigate and isolate important sources of

interfacial stress. It turned out that the dominant stress source origi¬
nates from the coefficient of thermal expansion (CTE) mismatch of the

materials at the bond interface. Other contributions from wire flex¬

ure because of heating due to an electric current and expansion of the

substrate as well as electro-magnetic interaction between parallel bond

wires were at least more than one order of magnitude smaller.

A comparative study of the stress levels in a wedge-wedge bond and

a wedge-ball bond geometry showed smaller stresses in the ball bond

than in the corresponding wedge bond. These results suggest that ball

bonds could exhibit a superior fatigue lifetime compared to the wedge
bond. But it is important to notice that these computational studies did

not and could not include any bonding technology related parameters
like bonding force, temperature and frequency (see chapter 2). Only
if the ball bonding process can produce initial connections as good as

the wedge bonding process the results found in the simulations become

meaningful.

vn
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In the said study it was found that the interfacial stresses in alu¬

minum easily exceed the elastic limit of aluminum. This leads to large
plastic deformations that are responsible for the thermo-mechanical fa¬

tigue. Since the finite clement (FE) simulator SOLIDESTE) which was

employed for all EE computations, did not have any nonlinear mechan¬

ical simulation features, rate-independent plasticity was implemented
into the tool. The main features of the implemented algorithm was a

consistent tangent modulus approach that ensured the quadratic con¬

vergence behavior of the Newton-Raphson routine employed, thus pre¬

serving its unconditional stability and allowing large load steps.

To model the elasto-plastic material behavior of aluminum a set

of stress-strain curves at different temperatures were measured. The

measurements were performed in air and a nitrogen atmosphere to in¬

vestigate the influence of oxidation. All measurements were conducted

by the ABB Corporate Research Center in Badeu-Dättwil/Switzerland.

The extrapolation of bond wire lifetimes from accelerated laboratory
tests towards field conditions was done with a Coffin-Manson lifetime

law. This law must be calibrated with measured lifetime data at fatigue
accelerating conditions. These data were measmed by the ABB Corpo¬
rate Research Center in Baden-Dättwil/Switzerland employing passive
thermal cycling and power cycling experiments.

The next step was to compare the lifetime prediction based on effec¬

tive plastic strains calculated with 3D FE simulations with the lifetime

prediction obtained using a simple analvtical approach to assess the

plastic strain at the bond interface. In the FE simulations two differ¬

ent elasto-plastic material laws (perfect plasticity and power law strain

hardening) were used for further comparison. Although the analytical

approach did not take any geometrical features and realistic stress-strain

curves into account it produced results that were comparable to the FE

based results.

As the measured stress-strain curves of aluminum show significant
thermal softening the temperature dependency of the elasto-plastic ma¬

terial behavior had to be taken into account in the FE simulations.

Furthermore, the temperature dependency of the CTE was included.

The consideration of these temperature dependencies made it necessary

to include the temperature of the stress free state into the fatigue iaw

calibration. Since this was an extension of the standard lifetime piedic
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tion process its behavior was studied. It was found that the predicted
lifetime depends very strongly on the stress free state temperature since

all temperature induced strains are computed relatively to this stress or

strain free state.

A further investigation revealed that neglecting the temperature de¬

pendency of the elasto-plastic law would lead to a too conservative life¬

time estimation. A similar but not as important effect arises from ne¬

glecting the temperature dependency of the CTE.

Since an IGBT is connected by up to ten parallel bond wires the

failure of one wire does not lead to an instant failure of the device and

the module. Therefore, a module failure criterion (MFC) was defined

establishing the connection between measurable bond wire lifetimes and

module lifetimes. The MFC determines how many bond wires are al¬

lowed to fail until the entire module is considered to have failed. Varying
the MFC showed its strong influence on the resulting module lifetime.



Zusammenfassung

In dieser Arbeit wird die Zuverlässigkeit von Bonddraht-Verbindun¬

gen in Insulated Gate Bipolar Transistor (IGBT)-Modulen untersucht.

Dicke Bonddrähte aus reinem Aluminium dienen zur Kontaktierung der

IGBT- und Dioden-Chips. Die hier untersuchte Technologie bondct die

Drähte nicht direkt auf die met alisierten Chips, sondern auf Molybdän-

plättchen, welche auf die Chips gelötet wurden. Dieses Interface zwi¬

schen Aluminium und Molybdän wird im Betrieb des IGBT-Mocluls

thermischen Zvklen unterworfen, die zu dessen fhermo-mechanischer

Ermüdung, Rissbildung am Interface und schliesslich zum Versagen der

Verbindung durch Ablieben des Bonddrahtes führen.

Moderne Traktionsanwendungen fordern heute Lebensdauern der

Module im Bereich von mehreren Jahrzehnten. Da die Lebensdauer von

Bonddraht-Verbindungen üblicherweise mit Hilfe beschleunigter Exper¬
imente kontrolliert wird, ist es erforderlich, eine zuverlässige Methode

zu besitzen, die es ermöglicht, von gemessenen Lebensdauern auf real¬

istische Lebensdauern im Betrieb schliessen zu können.

In einem ersten Schritt zum besseren Verständnis des thermo-mech-

anischen Verhaltens der Bonddraht-Verbindung wurden die wesentlich¬

en Einflüsse auf die mechanischen Spannungen am Bond-Interface iso¬

liert und untersucht. Es stellte sich heraus, dass die dominante Ursache

für die erwähnten Spannungen der Unterschied der thermischen Aus¬

dehnungskoeffizienten der Alaterialien am Interface ist. Andere Beiträ¬

ge, namentlich die Erwärmung des Boncldrahtes durch einen elektrischen

Strom und der damit verbundenen Ausdehnung, die Ausdehnung des

Trägermaterials und die elektro-magnetische Wechselwirkung paralleler
Bonddrähte waren mindestens um eine Grössenordnung geringer.

x



Zusammenfassung JvJL

In einer vergleichenden Studie der mechanischen Spannimgswerte
in einer Wedge-Wedge und einer Wedge-Ball Bond-Geometrie wurden

deutlich geringere Spannungen im Wedge-Ball Fall gefunden. Diese

Ergebnisse legen den Schluss nahe, dass Ball-Bonds eine längere Lebens¬

dauer aufweisen könnten als Wedge-Bonds. Es ist allerdings wichtig zu

beachten, dass diese Simulationsstudie keinerlei technologische Parame¬

ter beinhalten konnte. Nur wenn sichergestellt werden kann, class der

Ball-Bond-Prozcss Verbindungen herzustellen vermag, die eine ähnlich

gute Qualität wie Wedge-Bonds aufweisen, könnte auf eine verbesserte

Lebensdauer der Ball-Bonds geschlossen werden.

In der oben genannten Studie wurde ebenfalls gefunden, dass die

Spannungen am Bond-Interface das elastische Limit übersteigen. Dies

führt zu plastischen Deformationen, welche für die thermo-mechanischc

Ermüdung verantwortlich sind. Da der Finite-Element (FE) Simula¬

tor SOLIDIS_TSE, welcher für alle FE-Berechnungen verwendet wurde,
plastische Verformungen nicht berechnen konnte, wurden entsprechende
Plastizitätsmodelle in diesen Simulator implementiert. Der implemen¬
tierte Algorithmus beinhaltete einen sogenannten 'consistent tangent

modulus'-Ansatz, welcher sicherstellt, dass das quadratische Konvergen-
zverhalten der verwendeten Newton-Raphson Routine erhalten bleibt

und gleichzeitig unbedingte Stabilität gewährleistet wird.

Um das elasto-plastische Materialverhalten von Aluminium mod¬

ellieren zu können, wurden Spannungs-Dehnungs Diagramme bei ver¬

schiedenen Temperaturen gemessen. Die Messungen wurden einerseits

an Luft und andererseits in einer Stickst offa tmosphäre durchgeführt,
um den Einfhiss der Oxidation des Drahtes zu untersuchen. Alle Mes¬

sungen wurden vom ABB Forschungszentrum Baden-Dättwil/Schweiz
durchgeführt.

Um eine Lebensdauer-Vorhersage unter realen Betriebsbedingungen
vornehmen zu können, musste das verwendete Coffin-Manson-Modell

mit gemessenen Lebensdauerclaten kalibriert werden, welche vom ABB

Forschungszentrum Baden-Dättwil/Schweiz gemessen wurden.

Im nächsten Schritt wurden Lebensdauervorhersagen basierend auf

effektiven plastischen Dehnungen, berechnet mit 3D FE Simulationen,
mit solchen basierend auf einem einfachen analytischen Ansatz ver¬

glichen. Zum weiteren Vergleich wurden bei den FE Simulationen zwei

verschiedene Spannungs-Dehnungs Kurven zur Modellierung de«: elasto-
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plastischen Verhaltens von Aluminium verwendet. Obwohl der analytis¬
che Ansatz keinerlei Bezug auf die Bond-Geometrie nahm und auch

keine realistischen Spannungs-Dehnungs Kurven beinhaltete, waren die

Ergebnisse von vergleichbarer Qualität wie die mit FE Simulationen

erzielten Werte.

Da die gemessenen Spannungs-Dehnungs Kurven von Aluminium

eine ausgeprägte Temperaturabhängigkeit zeigen, wurde diese, im Un¬

terschied zu den ersten Rechnungen, bei den folgenden Simiüationen

ebenso berücksichtigt wie die Temperaturabhängigkeit der thermischen

Ausdehnungskoeffizienten. Die Berücksichtigung dieser Temperaturab¬

hängigkeiten erforderte die Erweiterung des üblicherweise verwende¬

ten Prozesses zur Lebensdauervorhersage. Es musste ein zusätzlicher

Parameter, die Temperatur des stressfreien Zustandes T/, eingeführt
und kalibriert werden. Es stellte sich dabei heraus, dass die vorherge¬

sagte Lebensdauer sehr empfindlich auf Änderungen von Tf reagiert,
was dessen Berücksichtigung unbedingt erforderlich machte. Die Ver¬

nachlässigung der genannten Temperaturabhängigkeiten würde zu einer

viel zu konservativen Lebensdauer-Abschätzung führen.

Da IGBTs mit bis zu zehn parallelen Bonddrähten kontaktiert wer¬

den, führt der Ausfall eines Drahtes nicht sofort zum Ausfall des Bauteils

und des Moduls. Um diesem Umstand Rechnung zu tragen, wurde

ein 'Module Failure Criterion' (MFC) definiert, welches die Modul-

Lebensdauer aus der Bonddraht-Lebensdauer ableitet. Das MFC gibt

an, wieviele Bonddrähte ausfallen dürfen bis das gesamte Modul als

ausgefallen betrachtet werden muss. Da das MFC relativ frei gewählt
werden kann, wurde dessen Einfluss auf die vorhergesagte Lebensdauer

studiert.



Chapter 1

Introduction

1.1 Motivation

Aluminum bond wires serve as power connections in modern high power

insulated gate bipolar transistor (IGBT) modules. Such modules are key

components in a wide range of applications, from household appliances
to locomotives. They control electric power from a few 100 W up to

several MW. Power modules are often required to exceed lifetimes of 10

years in harsh environment ;s without failure.

Currently, the reliability and lifetime of these power modules are

limited by the packaging of the devices. Thermo-mechanical fatigue
is responsible for two of the most severe degradation processes in the

module solder joint degradation and bond wire lift-off. Mechanical

failure of the solder layers at locations of high thcrmo-mechanical stress

induced by thermal cycling during operation decreases the soldered area,

effectively increasing the thermal resistance between die and heat sink.

This process increases the temperature in the die and at wire bond loca¬

tions leading to faster degradation of the connections. The degradation
and failure of solder layers will not be discussed here. The focus will

be on the failure of bond wires. Bond wire lift-off is the main cause of

early module failure originating from thcrmo-mechanical fatigue [l]-[8].
Such fatigue is driven by unmatched coefficients of thermal expansion

1



CHAPTER 1. INTRODUCTION 2

(CTE) between the bond wire and the substrate they arc bonded to [4].

In a typical IGBT module (see Fig. 1.1) used today in traction ap¬

plications (trams, locomotives etc.) IGBTs and diodes arc soldered to

a metalized ceramic base and connected to contact plates with several

parallel thick aluminum bond wires. Failure of one bond wire during
operation increases the current load on the remaining wires. A self-

accelerating process begins which can ultimately lead to the failure of

the entire module.

Experimental investigations of the bond interface revealed two re¬

gions with different aluminum grain sizes [1]. The first laver, about 20

microns thick, is located just above the bond interface. Here the alu¬

minum is heavily deformed by the bonding process and shows smaller

grain sizes than in the material above, which makes the Al near the bond

interface harder than the bulk wire. The interface between the small

grain region and the large grain region was found to be the propagation

path for cracks [4]. Such cracks are introduced during the bonding pro¬

cess [9] and grow during the operation of the device [10] [11], driven by

plastic deformations.

The most widely used methods for controlling the reliability of the

bonding process and estimating the lifetime of bond wire connections

are power cycling and passive thermal cycling experiments, often in

combination with bond wire pull tests. Power cycling tests are usually
combined with on-line monitoring of the change of Vce (collector-emitter
voltage drop) as a criterion of bond wire fatigue [12]-[f4]. Passive ther¬

mal cycling tests are used for accelerated fatigue testing with very high
temperature swings (150 K and more). These tests are extremely time

consuming and expensive, especially for small temperature excursions.

It is therefore desirable to have a fast and reliable method to assess the

bond wire lifetime at low temperature swings from accelerated tests.

A possible approach is to use a so-called Ooffin-Manson relation

which is a power law that links the mean number of temperature cycles-
to-failure with a 'characteristic value" that stronglv depends on the tem¬

perature induced strain. This "characteristic value' might be a shear

strain, plastic strain, equivalent plastic strain or even a stress value at

a location within the system under investigation that is most likely to

fail under test and field conditions. Since plastic deformations drive

the crack growth at the bond interface the effective plastic sham was
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Figure 1.1: Par/ of an IGBT module. Fhe chips are soldered on a

metalized ceramic base and connected to contact plates with thick AJ

bond wires.

chosen. The knowledge of the tree paiametcis in the Coffin-Manson law

and the dependency of the effective plastic strain on the température

swing enable one to extiapolate from measured lifetime values under

accelerated test conditions towards lifetimes under field conditions.
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The free Coffin-Manson parameters can be determined in a calibra¬

tion step where the effective plastic strains are computed for given ex¬

perimental conditions and correlated to the measured cycles-to-failure.
This procedure leads to a series of data points in a cycles-to-failure ver¬

sus effective plastic strain diagram. The Coffin-Manson parameters are

then calculated by least-squares-fit ting the Coffin-Manson law to the

said series of data.

Having calibrated the Coffin-Manson law an effective piastic strain

can be calculated for any field condition. The dependency of the lifetime

or the number of cycles-to-failure on the temper a true swing is the key
result. With this curve it is possible to calculate the lifetime in years

for any application for which the distribution of the temperature swings
is known.

For the calculation of the effective plastic strain different methods

are available. Depending on the complexities of the geometrical and

physical models analytical modeling or finite element (FE) computa¬
tions can be used.

Previous works used 2D [15] and 3D [10] FE simulations to calculate

the von Mises stresses at the bond interface. To compute plastic strains

a simple analytical approach was used by Poech et al. [10]. Ramminger
[16] assumed a perfect plastic behavior for the aluminum wire in his

2D FE simulations to calculate the plastic strains. But no work looked

at the full complexity of the problem including realistic finite element

models and measured temperature dependent elasto-plastic material be¬

havior of the aluminum wire.

1.2 Scope and Structure of this Work

This work deals with the lifetime estimation of thick aluminum bond

wires in IGBT modules undei field conditions including detailed and

realistic FE models and measured tempeiature dependent elasto-plastic
behaviors of the Al wire.

The lifetime extrapolation process from accelerated laboratory tests

towards realistic field conditions by means of a Coffin-Manson approach
is reviewed and extended to account for the influence of the stress free
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state temperature.

Chapter 2 gives a short introduction into ultrasonic wire bonding.
After a brief history of wire bonding, the three main technologies, the

bonding machine operation and how the bond is established on a phys¬
ical basis are described. Finally, different bond testing methods and

bond wire related failures in IGBT modules are discussed.

In chapter 3 some basic formulas and concepts needed to under¬

stand the continuum mechanics applied throughout this work are intro¬

duced. Starting with elasticity theory the essentials of its finite element

discretization are given. Then the modifications to account for elasto-

plastic models follow. Finally, the Coffin-Manson lifetime model and

the module failure criterion are presented.

The geometries under investigation are presented in chapter 4. The

3D finite element models were designed to represent the realistic bond¬

ing geometries as closely as possible.

Chapter 5 deals with the measurements of the temperature depen¬
dent elasto-plastic material data and fatigue data from laboratory tests.

All material properties needed for the various simulations and calcula¬

tions arc given here.

In chapter 6 the influence of different sources on the interfacial stress

is investigated by employing linear electro-thermo-mechanical finite el¬

ement simulations.

Chapter 7 will answer the question whether simplified assumptions
about the bond wires mechanical material data can lead to a meaningful
analytical approach to compute the plastic strain needed for the Coffin-

Manson formula. Results from finite element computations are given
for comparison and for determining the significance of the analytical
approach.

Experimental investigations showed a pronounced temperature de¬

pendency of the mechanical material properties essential for the deter¬

mination of the plastic strains in the aluminum wire near the bond

interface. The inclusion of realistic temperature dependent material

data in finite element simulations calls for an extension of the lifetime

model calibration procedure. Chapter 8 describes how to ac< oimt for

the stress free state as an additional parameter. Furthermore critical
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material properties are identified where accurate data is essential for a

successful lifetime prediction.

As up to fO parallel bond wires connect to the same chip, lift-off of

one wire will not immediately lead to the failure of the entire module.

Assuming borrd wire lift-off to be the dominant failure mechanism of

the module, the module failure criterion (MFC) introduced in chapter 3

is investigated to determine its degree of influence on the estimated life¬

time. Since the final lifetime result depends on all parameters described,

thev were systematically changed to investigate how these model param¬

eters affect the lifetime prediction.



Chapter 2

Wire Bonding

This chapter starts with a brief wire bonding history followed by an

introduction to three wire bonding technologies, namely thermocom¬

pression, ultrasonic and thermosonic bonding. Section 2.3 outlines the

bonding machine operation that leads to the bonds. Since the bonding

technology relevant to pure aluminum wires investigated in this work is

ultrasonic bonding, the process that leads to these bonds is described

in section 2.4. Wire bond testing methods and key reliability issues

of wire bonds in IGBT modules are discussed in sections 2.5 and 2.6.

respectively.

2.1 Wire Bonding History

Wire bonding was the earliest technique to be applied to device as¬

sembly [17]. Bell Laboratories published the first results in 1957, on a

technique called Thermocompression Bonding (see section 2.2.1). Sev¬

eral years later, bonding machines became commercially available and

the technique began to be generally applied [LSI. Later, ultrasonic bond¬

ing and thermosonic bonding techniques were introduced that enabled

bonding temperatures to be reduced for thermally sensitive devices and

for surfaces that were difficult to bond on ultrasonically at room tem¬

perature.

l
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The initial bonders were manually operated and rather labour inten¬

sive. Automatic wire bonders with pattern recognition and computer
control now are available to make the complete bond in less then 0.2 s

per wire [19]. Dramatically improved bond yields and reliabilities came

about from the development and use of new evaluation methods such as

the ball bond shear test and new surface analysis methods such as ESCA

(Electron Spectrometry for Chemical Analysis). Originally, only gold
and aluminum wires were available. Now, feasibility has been demon¬

strated for numerous other wire materials, including palladium [20] and

copper [21] [22].

.2 Wire Bonding Technologies

2.2.1 Thermocompression Bonding

Thermocompression (TC) wedge and ball bonding for microelectronics

was developed by Bell Laboratories in 1957 [23]. This method was used

until ultrasonic wedge bonding largely replaced it in the mid 1960s.

Although Au-Au TC welds can be made in high vacuum at room tem¬

perature, such welds require a high bonding force and a high interface

temperature to take place in a normal manufacturing environment. TC

bonding is a type of solid-phase wielding that combines heat and force to

plastically deform the weklments. sweeping aside surface contaminants

(carbonaceous impurities, oxides, etc.). resulting in the intimate con¬

tact between cleaned surfaces. At this point, short-range interatomic

forces (and heat) result in a metallic welded bond. The primary process

variables (time, temperature, and deformation) all follow an Arrhenius

relationship, and their activation energies have been studied [21]. These

activation energies are supplied by the high interface temperature, which

for most microelectronic bonding is around 300 °C. The temperature is

usually supplied by heating the entire device. However, configurations
that heat the bonding tool alone (> 400 °C) or in combination with

device heating have also been used. All ball bonding technologies feed

the wire through a capillary, and the tool can move in any direction

after making the ball bond. This results in auto-ballbonding machines

being ~ 2 to 3 times faster than those for wedge bonding.

The majority of studies on TT1 bonding mechanisms were done at
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Bell Laboratories and Western Electric [24],[25]-[27]. However, impor¬
tant work was also done by others [28] [29]. Thermocompression bond¬

ing is more sensitive to surface contaminants than any other bonding
method [30]. Because of this fact and the high interface temperatures

required, the process is seldom used in microelectronics today, having
been replaced by thermosonic bonding.

2.2.2 Ultrasonic Wedge Bonding

Ultrasonic (US) wedge bonding was introduced to the microelectronic

industry about 1960 and became dominant in device production un¬

til gold-ball thermosonic autobonders took over [32]. Ultrasonic wedge

bonding is done at room temperature (if heated, it is called thermosonic

bonding). It is primarily used to bond Al wire to either An or Al

bond pads. The US weld is formed by the application of ultrasonic en¬

ergy through a resonating transducer/tool combination while applying
a clamping force. The bonding sequence is given in section 2.3. The

wedge-bonding system (transducer/tool combination) must be oriented

in a straight line from the first bond to the second before the first bond is

made. This is a disadvantage for autobonders, since it requires mechan¬

ically aligning the package or the transducer for each wire. This slows

down the wire bonding process by more than 50 %, requiring several

times more autobonders (and their overhead costs) to bond the same

number of devices as thermosonic ball bonders [32].

Large-diameter Al wire bonding is the dominant method of inter¬

connecting power devices and hybrids that require several Ampères of

current per wire. Large Al wires are bonded by cold US welding meth¬

ods, using 60 kHz US power supplies. Large wires are usually consid¬

ered to range from about 75 to 100//m to over 0.5 mm in diameter.

Typically 99.99 % Al or Al. 0.5 % Mg wires are used. Even though
large-diameter wires are usually fully annealed, they are very stiff and

the bonding forces are far greater than those required for small-wire

wedge bonding (up to ~~ Ikfg vs. 25 to 35 gf). The US energy required
is equivalently higher as well, up to ~- 25W vs. < 1W for fine wires.

Many power device packages arc plated with Ni. and large-diameter Al

wires bonds very well to that mctalization since it is free from oxide

[32]. Large-wire bonds can have the same reliability problems as small-

diameter Al bonds (see section 2.6). The bonds can be tested both wilh
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the pull and the shear test.

2.2.3 Thermosonic Ball and Wedge Bonding

In 1970 Coucoulas [31] was the first to combine ultrasonic energy with

heat to produce thermosonic bonding, lie called it "Hot Work Ultra¬

sonic Bonding"'. Today, the vast majority of interconnects to integrated
circuits are made with Au thermosonic (TS) ball bonding. It is also oc¬

casionally used for Air wedge-wedge bonding. This bonding method is a

combination of ultrasonic and thermocompression welding that merges

the best qualities of each for microelectronic usage. TC welding usually

requires interfacial temperatures in the order of > 300 °C. This tem¬

perature can damage some die-attach and packaging materials as well

as laminates and sensitive chips. However, in thermosonic welding the

interface temperature can be much lower, typically between 125 and

220 °C. which avoids such problems. The ultrasonic energy helps dis¬

perse contaminates during the early part of the bonding cycle and helps
mature the weld in combination with the thermal energy. The bond is

formed when the tool under load presses the wire against the bonding
pad and ultrasonic energy plus heat from the work holder is applied.

2.3 Bonding Machine Operations

A wedge bond connection is produced as follows: The bond wire is held

by the bond tool and moved to the first bonding position. Then the

tool is lowered and presses the wire against the bonding surface with

a predetermined force. Ultrasonic energy is applied for a preset time

to make the first bond. Most current systems operate at 60 kHz. The

tool is then raised while the wire is delivered from the spool of wire.

Now fhe bond tool moves to the second bond position and the loop is

formed. The tool is lowered to the bonding pad, and the second bond is

made. After the second bond has been made, a wire clamp closes and

pulls back to break the wire.
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2.4 How Ultrasonic Bonds are made

Since there is no quantitative model of the microelectronic welding
mechanism, a brief qualitative, phenomenological explarration follows

[32].

Ultrasonic (US) welding is a type of deformation welding in which

the metal is first softened by the ultrasonic energy. The clamping force

deforms the softened wire or ball against the equivalently softerred bond¬

ing pad, sweeping aside brittle surface oxides and contaminants, leaving
clean surfaces in contact. Small deformation takes place in the center

of the weld, so the oxides and contaminants remain there. This area

is often observed to remain unwelded. Presumably, the same energy

transfer mechanism that softens the metal without significant heat gen¬

eration also supplies the required activation energy for in terdiffusion.

This forms the metal-to-metal (atomic) bonds within a few millisec¬

onds. Note that an equivalent deformation made with higher clamping
force, but with no US energy, does not result in a weld.

The US bonding process does not occur because of heat generated
by the US energy. Measurements have shown maximum temperature
rises of only about 50 °C to 150 °C [33]. In no case did the interface tem¬

perature approach the melting point of either vvcldment of the > 300 °C

normally required for thermocompression bonding. Also, bonds have

been made at liquid nitrogen temperature (77 K) [33]. Since a high
temperature is not necessary, the activation energy may be transmitted

in the form of phonon/lattice interactions. Lower clamping forces have

been shown to increase the interface temperatures by about 250 °C, im¬

plying that there is increased interfacial scrubbing during some portion
of the bonding cycle.

Therefore, wedge bonding to a typical Al bond pad could be summa¬

rized as follows: Some wire-to-pad interfacial motion (scrubbing) occurs

upon first application of ultrasonic energy, resulting in some cleaning
action. A few milliseconds later, small microwelds form just inside the

perimeter of the mat eel surfaces, and at this point the wire-to-pad in¬

terfacial motion ceases and changes to the tool-to-wire interface [34].
Ultrasonic energy is then absorbed by the entire weldment area (wire,
interface and bond pad). As a consequence of deformation cleaning, the

center of the bond area is sometimes left unwelded.
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2.5 Wire Bond Testing

The most common method for evaluating wedge bonds is fhe pull test,

primarily destructive, but to a small extent nondestructive. While the

pull test is valid for wedge bonds, it is necessary to use a shear test

or, to some extent, a thermal stress test to evaluate the ball bond ad¬

equately. Therefore, the ball-shear test is also described. The theory
and applications of these tests are fullv understood, and the pull as well

as the ball-shear tests have become standard test methods.

2.5.1 The Destructive Bond Pull Test

The wire bond pull test is the most universally accepted method for

controlling the quality of the wire bonding opciation. It was introduced

to evaluate the strength of wire bonds to semiconductor devices in the

1960s. Numerous papers have been written on the subject of the wire

bond pull test. Derivations of the equations, standard test methods,
and their validation have been given [35]-[38].

Figure 2.1 shows typical geometrical configurations and positions of

the pulling hook for ultrasonic wedge and ball bonds. The forces in the

two parts of the wire due to the pulling force can be calculated using
elementary mechanics (e.g.. see [32]). The force needed to break a bond

is a criterion for the quality of the bonding process. The position of the

hook significantly affects the distribution of forces at the bonds. One

can choose a position that will give equal forces on each bond. This is

possible with some automated pull testers. However, manual pull tests

would be significantly slowed down by such a procedure. In addition,
most specifications (such as MIL STD 883. Method 2011 [39]) require
that the hook is placed in the center between the bonds. Whenever the

hook is moved close to one bond, a higher proportion of the wire force

is applied in the vertical (or peel) direction. If bonds have a tendency
to peel, then a significantlv lower pull force will result. Details of this

and other special pull-test pitfalls (e.g. pulling out of the plane of the

bond, the effect of one weak and one strong bond, etc.) are given in

[37]-[38].
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Figure 2.1: Typical geometrical configurations and positions of the

pulling hook for wedge and ball bonds. The pulling hook tends to slip
towards the peak of the loop.

2.5.2 The Non-Destructive Bond Pull Test

The nondestructive wire bond pull test (NDPT) is similar to the de¬

structive pull test, but it is intended to reveal weak bonds while avoid¬

ing damaging acceptable bonds. As the destructive pull test the NDPT

is only useful cm wedge bonds or the wedge bond of a ball-wedge bond¬

ing geometry. For the NDPT. the maximum applied force to the bond

loop is limited to sorrre predetermined value which is below the normal
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destructive pull test value. The test can be applied on a 100 % basis to

all wires in an IC or a miiltichip module, but, may be limited to areas

or to specific pads of a chip found to have repeated bonding problems

[32].

It is important to note that the NDPT performs only one function. It

will remove weak, poorly made bonds with pull forces below the chosen

force level at the time the test is performed. It is no assurance against
later bond strength degradation.

Evaluation studies of the NDPT were carried out by a number of or¬

ganizations [35] [40]- [12]. The nondestructive pull force is usually speci¬
fied for a given wire diameter and metallurgy (see MIL STD 883, Method

2023 [39]). The metallurgical and statistical interpretation of the NDPT

was given by Harnran [43].

2.5.3 The Ball Bond Shear Test

The wire bond pull test is universally used to asses the strength and

to determine bonding machine setup parameters of wire bonds used

in microelectronics. While pull test data are adequate to determine

wedge bonding machine setup parameters, are they sufficient to set

up the ball bonding machine parameters? Considering that most ball

bonds can have interfacial welding areas In the order of 6 to 10 times

the cross section area of the wire, it is apparent that the wire will

break in pull testing before even a poorly welded ball will lift [44] [45].
In addition, the wire just above the neck of the ball bond is totally
annealed, recrystallized, and generally becomes the weakest part of the

ball-bond/wire/wedge-bond system. In a pull test, the wire often breaks

at this point, depending on the placement of the hook and the bond

geometry.

Considering the above, it is apparent that some type of push-off or

shear test offers the best possibility of assessing the quality of a ball

bond interface and. thus, properly setting up a ball bonding machine.

The ball shear test was independently introduced to the microelec-

tonics industry in 1967 [46] [47]. However, it appears to have been ig¬
nored or forgotten for almost 10 vears until Jellison [28][48] and later

Shimada et al. [49], designed precision shear testers and used them in
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a series of laboratory experiments that clearly demonstrated the useful¬

ness of the test.

The equipment used to perform the ball bond shear test ranges from

tweezers and other hand-hclcl probes [44] to dedicated shear test ma¬

chines with force sensors, automatic height positioning and various elec¬

tronic methods of data presentation. In principle, the ball shear test is

simple and consists of bringing some form of a shear tool up to the side

of a bonded ball, applying a force sufficient to push it off, and recording
that force. The test is illustrated in Fig.2.2.

Shoulder

Bonded Ball

Chip,
Bonding Pad

Area of Contact

Figure 2.2: Schematic drawing of the ball shear test.

2.6 Wire Bonding related Failures in IGBT

Modules

Bond wire failure is an important lifetime limiting factor in IGBT mod¬

ules. Other failure sources include solder fatigue due to different co¬

efficients of expansion of the solder and soldered materials (e.g., see

[14][50]-[53]), electrical overstress [54] as well as device failures and elec-

X
Shear

^s^

Tool """""^
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trostatic discharges in high voltage applications. These failure modes

shall not be discussed here in detail.

Typical wire bonding related failures are cracking of the wire due to

repetitive flexing of the wire (e.g., due to Joule heating) and bond wire

lift-off due to thermomechanical fatigue of the bond interface. Figures
2.3 and 2.4 show such a wire flexing induced crack just above the bond

foot. This kind of failure can be reduced by avoiding small bending
radii in the borrd wire loop.

More important than cracking of the wire due to flexing is the degra¬
dation of the bonding interface. The mismatch of the coefficients of

thermal expansion of the materials at the bonding interface leads to

large plastic strains. These plastic strains drive the propagation of mi-

crocracks already introduced during the bonding process [9]-[ll].

Figure 2.3: Crack in a wire bond just above the bond foot due to

repetitive flexing of the wire). Photograph: Courtesy Mauro Ciappa,
Integrated Systems laboratory, ETH Zürich.

These microcracks form macrocracks as shown in Fig. 2.5 and prop-
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Figure 2.4: Detail of bond wire crack from figure 2.3. Photograph-
Courtesy Mauro Ciappa. Integrated Systems Laboratory, ETE Zurich

agate from the bond heel and toe towards the middle of the bonded

area. Finally, these large cracks lead to the bond wire lift-off as de¬

picted in Fig.2.6. The crack propagation does rrot occur directly at the

bond interface, but inside the Al wire [4]. The reason for this is the

microstructure of fhe Al near the bond interface. Experimental stud¬

ies revealed small Al grains just above the interface, followed by larger
grains inside the wire. Since the layer with smaller grains is harder than

the bulk wire, the weakest part of this system is the interface between

the large and the small grain layers. That interface is the location for

crack propagation. Investigations of the footprint of the lifted wire con¬

firmed this fact, because laver s of AI were left on the bond pad (see
Figs.2.6 and 2.7).

Experimental investigations revealed a linear relationship between

the crack length and the number of thermal cycles [10]

Different counter measures to increase the borrd wire reliability have
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Figure 2.5: Cut through a wedge bond showing a large fatigue crack.

Photograph: Courtesy Mauro Ciappa. Integrated Systems Laboratory.
ETH Zurich.

been proposed. One suggestion is the deposition of an organic coating
onto the wire to press the bond on the bond pad, therefore preserving
better contact even with larger cracks.

Another solution is based on the knowledge of the interfacial grain
structure. Increasing the Al grains directly above the bond interface

would largely eliminate the weak link between the large and small grain

layers. Ohga [4] and Onuki [55] demonstrated the effect of annealing (at
temperatures up to 350 °C) after wire bonding, leading to larger grains
at the bond interface and an increased lifetime.

Since annealing after wire bonding might not be desirable, because

solder joints would melt at these temperatures, high temperature bond¬

ing was proposed [55]. Thick Al wires were bonded on Al-Si films which

were heated to 150 °C. Cross-sectional micrographs showed grain sizes

about 5 times larger than in conventional bonds.

Although it might be possible to increase the wire bond reliability
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by applying one or more of these countermeasures, the problem of ex¬

trapolating measured lifetimes under laboratory (fatigue accelerating)
conditions towards held conditions remains

Figure 2.6: Lifted wire bond due to thtrmomechanical fatigue at the

bond interface leaving a layer of U on tht chip metahzation. Photo¬

graph: Courtesy Mauro Ciappa. Integrated Systems Laboratory. ETH

Zurich.
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Figure 2.7: Footprint of a lifted wire bond. A layer of Al was left

on the bond pad, confirming the other experimental findings thai the

cracks propagate inside the Al wire and not at the bond interface directly.

Photograph: Courtesy Mauro Ciappa. Integrated Systems Laboratory.
ETH Zurich.



Chapter 3

Continuum Mechanics

and Fatigue Modeling

The first section of this chapter gives an introduction to the equa¬

tions and finite element discretization of solid state elasticity. Building
on these fundamentals, the concepts, equations and models of rate-

independent plasticity are described in the second section. These mod¬

els and algorithms have been implemented into SOLIDIS^se1 [56]-[58]
by the author and used to perform all simulations presented in the fol¬

lowing chapters. The third section describes the Coffin-Manson lifetime

model and the module failure criterion.

3.1 Elasticity

3.1.1 Equations

This section intends to recall the basic equations and notations for the

reader's convenience. Throughout the following sections all equations
are given for the three-dimensional isotropic case. Therefore, exploiting

1SOLIDIS_Iq15 is the theimo-elcctio-mechamcal finite element simula toi of 1SK

Integrated Systems Engmeeimg A.G. www ise com

21
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the symmetries due to isotropy, the stress and strain tensors of second

order arc transformed into vectors (this is the engineering notation)
and the fourth order tensors, namely the strain operator and elasticity

matrix, are transformed into their second order equivalents. For an

in-depth introduction to the mathematical theory of elastic and elasto-

plastic bodies see [59].

Starting with the displacement

u 3.1

of a point (xyz) under external and internal forces the first derived value

is the strain e. For small strains this results in

e —
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or

e = u '3.3^

employing the strain operator L and the partial derivatives of the

displacement field

dr.=
c)x

tx
dy

0,=
dz

(3.4)

The first three components of the strain vector (eT, ty) ez) arc called nor¬

mal strains while the others (jvi/-Jyz<l'xz) arp named shear strains.

These strains, together with any initial strains eo, thermal strains

//,, initial stresses ctq and the properties of the material, given by the
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elasticity matrix

D
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(3.5

which containes the Young's modulus E and the Poisson ratio v) define

the state of stress

(T D fe0 - fc/fc) +- <T0. (3.e;

Again one speaks of normal stresses (av. ay. a~) for the first three

components of the stress vector and of shear stresses for the remain¬

ing components (o~xlj,o~yz*alz). The thermal strains are defined as the

product of the temperature swing AT and the coefficient of thermal

expansion a

eiA=nAT(l 11000) (3.7)

with

AT = T T7ef (3.8

and Tref being the reference temperature of the strain-free state.

3.1.2 Finite Element Discretization

The fundamentals of finite element discreti/ation can be found in many

excellent textbooks and therefore shall rrot be repeated in this work (e.g.,
refer to the classic FE book by O.C Zienkiewicz [60]). The following
shall just sum up the concepts used in SOLIDIS_ISE[58].

Derived using a weighted residual method and applying Bubnov-

Galerkin weighting with trilinear shape functions N the key equation to

be solved for the linear elasic case is the equilibrium equation given here

on an one element basis (the element index is not shown for convenience)

K a -4 / ^ 0. [3.9)
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This involves the element stiffness matrix

(3.10)

the unknown vector of the nodal displacements a (the notation was

changed here to distinguish between the field a that contains all com¬

ponents of the elements nodal displacement vectors and the continuous

local displacement vector u) and the vector of nodal forces

/

'3.1T

introducing the body forces ö (e.g. gravitational forces) and the loading
term t on the nodes of elements wdrich have a boundary face. Further¬

more, the abbreviation
">

B^L-N (3.12)

was used.

3.2 Plasticity in a Nutshell

3.2.1 Basic Concepts and Equations

A fundamental notion of rate-independent plasticity is the existence

of a yield function F which depends on the stress tensor or and possibly
on a number of internal (state) variables. These variables describe the

evolution of the yield surface. For the particular case of isotropic strain

hardening as used here, these reduce to one scalar, say k (such as the

effective plastic strain in this particular case). This leads to

F ^F{o-.h) = F{(T.tp). (3,13)

A point (xyz) is defined to be in a plastic state when F = 0 and in an

elastic state when F <_ 0. Plastic loading occurs when in addition to

the requirement that F = 0 we also have F = 0. During plastic loading
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the total strain rate è is composed of an elastic part ee and a plastic

part ep:

è -- èe Zèp. (3.14)

The elastic strain rate is related to the stress rate & via the D-niatrix

D,

o- = Dèe. (3.15)

The plastic strain rate is obtained by differentiation of the so-called

plastic potential function. (7. with respect to the stress tensor cr

èp —- A ——. (3.16)
OCT

A is the plastic multiplier which can be determined by using the consis¬

tency equation F = 0. If the gradients of the plastic potential and the

yield function coincide, OFfder = ÖG/dcr, the flow rule is called "asso¬

ciated", otherwise it is '•non-associated". In the following, an associated

flow rule will be assumed.

3.2.2 Time Integration and Return-Mapping

A key problem in computational plasticity is the temporal integration of

Eqs. (3.14)-(3.16) for a finite time step. For rate-independent plasticity,
which shall be discussed here, the concept of time is only used to order

the sequence of events, but does rrot enter the equations explicitly. All

following formulas are valid for a certain time step or load increment.

It is also important to notice that this procedure has to be repeated for

every integration point.

For a finite step. Eq. (3.14) can be replaced by its finite counterpart

Ae = Aee + Aep. (3.17)

For solids which do not change their elastic properties during the loading

process, the finite counterpart of the relationship between the stress rate

and the elastic strain rate can be written as

Act = D Ae, . (3.18)
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Difficulties arise with the evaluation of Aep which can be expressed as

Aep = I X^-dr. (3.19'

A single-point integration rule, or generalized mid-point rule, yields the

following expression for the plastic strain increment:

\ t. >-)
-—- /—A Z\

da
(3.20)

t-> a At

with 0 < a < 1. The implementation used in SOLIDIS_ÎSE employs an

Euler backward integration scheme which is obtained by setting a = 1.

The advantage of this scheme is unconditional stability enabling large

load steps while preserving the asymptotic rate of quadratic convergence

of Newton methods [61].

Combination of Eqs. (3.17), (3.18) and (3.20) yields in the following

result for the stress increment

Z) TZ

Act - D Aec - AXD-- (3.21)
da

with the subscript tZ At for the gradient orthogonal to the yield surface

dropped for convenience. This equation can be interpreted as follows.

Starting from the stress state of the previous time step a trial stress

increment Acrf — D Ae is computed using the solution (displacement

field) of the current time step. If the trial stress af = ctq + A07 lies out¬

side the yield surface, F (o>. ep) > 0. the stress is returned to the yield

surface by the mapping —AXDj^. For the von Mises yield criterion

(see definition below) the Euler backward scheme is therefore equiva¬

lent to a radial return algorithm. This means that the return mapping

direction is given by the normal direction to the yield surface.

The total stress at the end of the 11-th loading step then becomes

crn =<Tt - AXD~ (3.22)
Oct

and has to be located on the yield surface, which is equivalent to

F (<Tt - AXD^.tp j = 0. (3.23)
\ da J
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The integration point level return-mapping routine must deliver the

plastic multiplier AA to update Eq. (3.22) so crn satisfies (3.23). Since

the yield surface moves during the return-mapping (because of the strain

hardening) a local Ncwton-Raphson routine is employed to compute AA.

After AA is determined the new stress state er„ can be updated using

(3.22). Furthermore, the plastic strain increment

OF
Aep = AA —

drr

and the effective plastic strain increment

3.24)

Ac 3A6P-Aep '3.25)

are calculated for the current iteration.

After the return-mapping step the system is in a locally consistent

state, but the global equilibrium might no longer be valid. To enforce

global equilibrium, a new solution (displacement field) has to be com¬

puted using the current stress state. This can be clone by using a elasto-

plastic matrix Dep instead of the elastic matrix D to build the stiffness

matrix of the system. With this modified stiffness matrix the global
system is solved again for the displacement field, from which the trial

stress is derived. The elasto-plastic matrix used is

C7<X OCT

(3.26)

with

TT,
OF

den
'3.27

When the system is in a numerically converged as well as in a phys¬
ically consistent state, the next load increment can be applied and the

procedure is repeated until the entire loading curve is traced.

The entire algorithm is summarized in Fig. 3.1.
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0. load step n=l

1. Solve global system for load step n with current stress state.

2. Loop over all integration points and compute the trail stress.

3. IF equivalent trail stress is larger then the yield stress:

Return-mapping and update of the local stress state,

plastic strain and effective plastic strain.

4. IF global equilibrium no more valid: GOTO 1.

5. IF n is not last load step: n=n-+ 1 and GOTO 1.

Figure 3.1: Basic algorithm for plasticity calculations.

3.2.3 Yield Criterion and Strain Hardening

To test if the integration point under investigation is subject to plastic
yieldirrg the elastic trail stress is compared to the yield stress. 44ie

yield stress is given by a scalar relationship the strain hardening
law — describing the evolution of the vield stress depending on the

load history. In the hardening law used in this work the yield stress

dependents on the plastic strain and the temperature. The temperature

dependency was included by using a set of hardening laws measured at

different temperatures and interpolating between these curves. For the

measurements and results see chapter 5.

For the said comparison between the local stress state and the cur¬

rent yield stress a scalar equivalent stress value must be calculated from

the stress tensor. The model used to calculate this equivalent stress

must represent the actual material behavior. For metals like aluminum

the appropriate equivalent stress measure is the von Mises stress

&VM — 7l{CTT-(Jv)2 +-( z
l

f

7y
-

az) Z -0 {erz
-

\2

)OZj ^ayz ~+ ^aZ

1 ;2

(3.28)

In combination with the hardening law the equivalent von Mises stiess

leads to the von Alises yield function

F = F (er, ep) - ay m (er) - er, (cp, T) . (3.29)
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3.2.4 Further Reading

For an introduction into the mathematics of elasticity and plasticity see

the book 'Mathematical Theory of Elastic and Elasto-Plastic Bodies:

An Introduction" by Jindfich Necas and Ivan Hlavacek [59]. Giving
also a very good insight into the phenomenology of plasticity and prob¬
lem examples, the books 'Plasticity and Creep. Theory, Examples, and

Problems7 by Jacek J. Skrzypek and 'Plastizität. Grundlagen und An¬

wendungen für Ingenieure' by Knut Burth und Wolfgang Brocks are

highly recommended.

On the most critical part of a plasticity implementation into a finite

element code — the integration of the constitutive equation — articles

by T.K. Hellen [64], J.C. Simo and R.L. Taylor [61], S. Caddemi and

J.B. Martin [65] as well as by B. Kroplin and D. Dinkier [66] serve as a

good basis for understanding the most widely used algorithms.

3.3 Fatigue Model

3.3.1 Coffin-Manson Equation

The ultimate concern in thermal-cycle bond wire reliability is the useful

lifetime of the bond connection, here defined as the time to bond wire

lift-off. This section describes the method used to predict the fatigue
lifetime for the specific system of aluminum bond wires.

An equation that describes fatigue of most metals stressed repeat¬

edly in uniaxial tension is [67]

e = t(, Z tp = ANJC Z BNJP (3.30)

where e is the total strain amplitude, comprised of an elastic component

ce, and a plastic component (p. Nf is the lifetime in cycles, and A) D.

c and p are material constants.

The calculated strains at the bond heel are in the range of a few

per cent. They exceed the elastic limit of aluminum by more than one

order of magnitude. Hence, as an approximation, the total computed
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strain may be considered equal to the plastic strain, rrraking it possible

by neglecting the elastic strain to reduce and rearrange Eq. (3.30) into

Nf^a(epY (3.31)

referred to as the Coffin-Manson equation. Furthermore, since triax-

ial stress and strain fields are considered in the following investigations,
equivalent plastic strairrs are used as recommended by classical fatigue
theory [67].

3.3.2 Model Calibration and Lifetime Prediction

The parameters a and p in Eq. (3.31) are used to calibrate the model by
combining experimental data and simulation results. These parameters

mostly depend on the bonding technology and the material behavior.

The calculated effective plastic strain amplitude also depends on the

stress free state assumed in the FE simulations. Therefore, a third

parameter, the temperature of the stress free state Tf is implicitly in¬

cluded in the Coffin-Alanson equation. Despite its major influence on

the Coffin-Manson parameters the Tf -dependency is normally neglected.
Therefore, the outline of the fatigue model calibration process and life¬

time prediction in this section does not include the determination of Tf,
which is explained in detail in chapter 8.

Calibration of the Coffin-Manson equation is the first step in a two

phase process to predict fhe bond wire lifetime. In the calibration

step, the measured cycles-to-failure Nf for given accelerated laboratory
tests are combined with the computed plastic strains corresponding to

the specific test conditions. Each pair of measured lifetime and calcu¬

lated effective plastic strain represents a data point put in a log(Nf)
vs. log(ep) diagram. The Coffin-Manson parameters are then deter¬

mined by a least-squares-fit of the model equation to these data. Only
the calibrated Coffin-Manson relation is used for lifetime predictions.
For descriptions of the laboratory tests and the measurement of Nf re¬

fer to chapter 5. The methods of plastic strain calculations are described

in chapters 7 and 8, respectively.

To predict the bond wire lifetime under field conditions effective

plastic strains are computed and entered into the calibrated Eq. (3.31)
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yielding the mean cycles-to-failure for the given field conditions. Figure
3.2 illustrates and summarizes this two step procedure.

3.3.3 Module Failure Criterion

As up to 10 parallel bond wires connect to the same chip, lift-off of

one wire will not immediately lead to the failure of the entire module.

Assuming bond wire lift-off to be the dominant failure mechanism of

the module, a module failure criterion MFC is proposed here. MFC —

20 % means that a module is considered to fail if 20 % of all bond wire

connections within the module have failed.

This concept is useful because in typical laboratory tests only the

bond wire lifetime is determined, and because of the said reason the

desired final result would be the module lifetime.

Therefore, the ATf values entered into the fatigue model calibration

are the lifetimes at which a given fraction of all borrd wires, determined

by the MFC, have failed. Consequently, the predicted lifetimes obtairred

from such a fatigue model are the module lifetimes for the given MFC.

Chapter 8 discusses the importance of the MFC concept and its influence

on the predicted lifetime.
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Figure 3.2: Procedure u^ed for fatigue model calibration and I

prediction.



Chapter 4

Geometries

4.1 Review of previously used Geometries

Only a few papers have dealt with the thermo-mechanical behavior of

thick Al wire bonds by means of FE or analytical modeling.

Ohga [15] used a 2D FE model of a power transistor module includ¬

ing the baseplate, submoimt. die and bond wire, to calculate the von

Mises stress distribution at the bond interface. He found that the largest
stresses occur at the bond heel and toe. The interface region was very

coarsely meshed and the calculated stresses were more of qualitative
than quantitative relevance.

The 3D FE model of a wire bond employed by Pocch et al. [10]
to compute the von Mises stress distribution was composed of a cube

representing the Al bond placed on a larger cube representing the Si

chip resulting in sharp corners and edges. It was found that the average

stress at the bond interface increases with increasing temperature at a

rate of about 20 MPa/K.

Plasticity calculations were performed by Poech [10] and Ramminger
[16]. While Poech used a simple analytical approach, Ramminger em¬

ployed 2D FE simulations of a thick Al wire wedge-bonded on a Si

chip closely resembling a geometry found in power modules. Assum-

33
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ing perfect plasticity for the Al wire and a temperature step of 75 K

Ramminger found plastic strains near the bond heel of 2.7 % while the

analytical results were below f %.

4.2 3D Finite Element Models employed in

tins Work

To describe the bond wire and interface as realistically as possible and to

account for three dimensional stress and strain states at the borrd inter¬

face, 3D finite element models were used in the simulations that closely
follow the real bonding geometry depicted in Fig. 4.1. The 350 /im wire

is made of 99.999 % pure aluminum. It is approximately 10 mm long,
with a distance of 8.8 mm between the bond pads and a loop height of

f .6 mm. The loop and the borrd details were extracted from the picture
and transferred to the computational model. Figures 4.2 and 4.3 show

the resulting 3D finite element models.

For the ball bond used in chapter 6 no currently used geometry has

been available. As a reference a picture found in [68] has been used to

design the ball bond mesh (see Figs. Li and 1.5).

All structures were built using the tensor grid editor TED_ISE [69].
The symmetry along the wire was exploited to increase the simulation

efficiency and the structures between the bond pads were not included in

the model. Instead its behavior was represented by appropriate bound¬

ary conditions depending on the type of analvsis. These boundary con¬

ditions are explained in detail in the following chapters.

The initial meshes were cpiite coarse but fine enough to model all

sufficient features of the bond wires. To obtain accurate results while

preserving the high computational efficiency the mesh was locally re¬

fined where necessary. The process is described in chapter 6.

The initial macro element meshes contained about 6000 nodes. Dur¬

ing the adaptive refinement process another L4000 nodes were intro¬

duced mainly at fhe bond interface region resulting in a final mesh of

about 22000 nodes.
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Figure 4.1: Real wedge-wedge bonding geometry.

Figure 4.2: Finite element model of the wedge-wedge bonding geome¬

try. In the simulations the symmetry of the structure was exploited to

reduce the computational effort.
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Figure 4.3: Macro element model of the wedge bond.
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Figure 4.4: Finite element model of the wedge-ball bonding geometry.
In the simulations the symmetry of the structure ruas exploited to reduce

the computational effoit

Figure 4.5: Mono element model of the ball bond.



Chapter 5

Fatigue Data and

Material Properties

5.1 Fatigue Data

The calibration process of the Coffin-Manson relation presented in chap¬

ter 3 to model the bond wire lifetime requires measured lifetime data.

Since trrre lifetimes of bond wires under field conditions are several

decades, the only way of assessing their reliability is to employ acceler¬

ated test methods. The acceleration is achieved by exposing the wire

bonds to elevated temperatures and temperature swings. These lead

to higher plastic strains at the bond interface and that accelerate the

fatigue process.

Test structures were wTedge-wedge bonds on Si, Cu and Mo with

350 /im pure (99.999 %) Al-wire as shown in Figure 4.1 and actually
used in IGBT modules.

Three different fatigue experiments were conducted at the ABB Cor¬

porate Research Center in Baden-Dättwil/Switzerland which serve as

the data basis for the fatigue model calibration.

In the first experiment the bonds on Si. Cu and Mo were stressed
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through slow temperature cycles (2h cycle time, ramping the tempera¬

ture between --55 °C and 150 °C). In regular intervals the samples were

takerr from the overr and pulled with a force of 0.5 N. The sum of brokerr

samples versus the number of thermal cycles was recorded.

Another set of samples that included wedge-wedge bonds on Mo and

Cu was thermally cycled from — 50°C to 100 °C with a cycle time of f

minute and their strength measured in regular intervals.

The third set of experiments was used to calibrate the stress free

state of the finite element simulations. Here power cycles of IGBT-

modules stressed the wedge-wedge bonds on the chips with a tempera¬

ture swing of 60 °C.

For confidentiality reasons the measured values are not disclosed in

this work.

5.2 Material Properties

A set of accurate material properties is as Important for meaningful
finite element calculations as a realistic geometry. This section sum¬

marizes the material properties used in all simulations described in the

following chapters. The most critical property from the plastic strain

point of view is the nonlinear stress-strain curve of aluminum above

the elastic limit. Measurements of this property were conducted by the

ABB Corporate Research Center in Baden-Dättwil/Switzerland.

As the test temperatures vary between —55 CC and 150 °C, the tem¬

perature dependence of material properties cannot be neglected. The

temperature dependence of the CTE for all materials involved was taken

from literature [70] (see also Table 5.1). while the elasto-plastic mate¬

rial law for the aluminum bond wires was measured by uniaxial traction

tests at 20 °C, 60 °C and 100 °C. Figure 5.1 shows the measured elasto-

plastic behavior at these three temperatures. All other materials were

treated as clastic.

The measured stress-strain relationships for the Al wires were de¬

composed into a linear elastic part and a plastic part. The initial yield
stress o-yQ and initial yield strain eyo were determined by using the 0.2 9o
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criterion for the residual plastic strain after clastic unloading. The strain

hardening part was fitted to a power law:

<Jy{(:p)=A(tp + t0) . (5.1)

Here ay is the yield stress and ep the effective plastic strain. A, B and

cq are material parameters. Tables 5.2 and 5.3 summarize these data

measured in air and in a pure nitrogen atmosphere.

The Young's moduli used in temperature Independent calculations

and in any case for all materials except aluminum are given in Table 5.4.

Simulations with temperature dependent properties of aluminum em¬

ployed Young's moduli derived from the measured initial yield stresses

and yield strains:

E=^. (5.2)

Table 5.5 lists the temperature dependent Young's moduli for the 'air"

and 'nitrogen' measured stress-strain curves. These data clearly indicate

the stiffening effect of wire oxidation in air.

Poisson ratios usually do not exhibit a pronounced temperature de¬

pendency. The values used in the simulations were room temperature

values, summarized in Table 5.6. Finally. Table 5.7 shows the thermal

conductivities used.

Table 5.1: Temperature dependency of the coefficient of thermal ex¬

pansion [70].
Al Cu Mo Si

200 K

300 K

400 K

500 K

21.5e-6

23.2e-6

2i.9e-6

26.4e-6

15.9e-6

16.8e-6

17.7e-6

18.3e-6

4.8e-6

5.0e-6

5.2e-6

5.3e-6

1.9e-6

2.5e-6

3.1e-6

3.5e-6
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Table 5.2: Parameters foi the temperature dependent elasto-plastic
material law for aluminum wires measured m air according to Eg. (5.1).

20 °C 60 C 100 °c

VyO [MPa] 26.9597 20.6194 19.1296

<~y0 [%) 0.29 0.37 0.38

A [MPa] 53.1067 15.1201 40.9685

B [L] 0.125738 0.126055 0.125146

e0 [%] 0.4354 0.20046 0.22758

Table 5.3: Parameters for the temperature dependent elasto-plastic
material law for aluminum wires measured in nitrogen atmosphere ac¬

cording to Eg. (5.1).
20 °C 60 °C 100 °C

VyQ [MPa] 22.2478 18.9910 16.7043

ZjO [%] 0.30 0.3 L 0.33

A [MPa] 58.2143 53.3491 42.5742

B [11 0.173477 0.177389 0.143188

e0 [%] 0.39078 0.29595 0.14486

Table 5.4: Young's moduli at room temperature [70].
Al Cu Mo Si

70 GPa 130 GPa 300 GPa 165 GPa

Table 5.5: Temperature dependent Young's moduli derived from mea¬

sured stress-strain curves in air and nitrogen atmosphere (E = cTy0/c(yo).
Temperature "air" 'nitrogen"

20 °C

60 °C

100 °c

5.6 GPa

1.2 GPa

3.7 GPa

5.1 GPa

3.9 GPa

3.3 GPa

Table 5.6: Poisson ratios at room temperature [71]
Al Cu Mo Si

0.35 0.34 0.30 0.22
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Table 5.7: Thermal conductivities at room temperature in
-—^ [71].

Al Cu Mo Si

238.5 398.0 r 110.0 157.0

co

a.
I—-J

CO
CO

CD

5e+07

4e+07

3e+07

(/> 2e+07

1e+07

100 °C

0.00 0.05

measured in air

measured in nitrogen

0.10

Strain [1]

0.15 0.20

Figure 5.1: Aleasured elasto-plastic behavior of Al bond unies at dif
ferent temperatures in air and nitrogen atmosphere. Oxidation in air

leads to additional hardening of the wires.



Chapter 6

Elastic Simulations

6.1 Motivation

In a first study [72] the stress levels and stress distributions of the cur¬

rent bond geometry (wedge bonds on both ends) and a different geome¬

try (wedge bond on one errcl and ball bond on the other) were computed

by elastic simulations using SOLIDIS_jgE. Wedge-wedge bond connec¬

tions are the currently used technology in the industry, but ball bonds

would be inleresting for technological reasons because the bond tool

would need less space to bond the wire onto the chip. The investigation
should give an idea of the possible performance of ball bonds versus

wedge bonds in IGBT modules. It is important to notice that the re¬

sults presented here do not include any problems that may arise from

developing the real bonding process. Technology related parameters

like bonding temperature, pressure, frequency and so forth cannot be

included in the thermo-mechanical model on which this work is based.

These parameters are included in the lifetime model during the calibra¬

tion process discussed in chapter 3.

Another question which is addressed here is where plastic deforma¬

tions will occur. Since plasticity computations are wry time consuming
one wants to restrict them to as small a region as possible. Getting
a grip on this problem save-» a lot of simulation time and computer

43
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memory that can be better used for a finer discretization of important

regions.

6.2 Geometries and Mesh Refinement

The wedge-wedge and wedge-ball bond geometries are shown and de¬

scribed in chapter 4. In all cases an aluminum wire was bonded to a

molybdenum strain buffer. The purpose of the strain buffer is to reduce

strains arrd stresses at the bond interface compared to bonding directlv

to the metalized .silicon die.

In order to obtain a sufficient accuracy in the simulation, the solution

obtained using the relativelv coarse initial mesh was used to compute a

refinement indicator. Such a function is computed element-wise, which

allows for mesh refinement according to the local solution. Elements

are thus introduced only where they are needed. In this way a near-

optimal mesh results, containing just enough elements to obtain the

desired accuracy.

Within these simulations, the so-called mixed mode indicator x[mm
was used as the refinement indicator [58]. This function arises when the

linear and constant parts (these can be exactly solved for by fhe FE

method employed) are subtracted from the solution. As the constant

term does not contribute to the energy of the system, the definition of

the mixed-mode refinement function is

Z^M = w(l~^^^. (6.1)
V V' - Zconbf J

Hove, the mechanical energy IE represented by an element can be ex¬

pressed in terms of the strain (e) and stress (cr) values:

IE =-- - / eTadü. (6.2)
2 Jn

Elements with a mixed mode value larger than the average value of the

entire clement ensemble are refined. Refinement of an element means

the division of the element along all axes. i.e. a refined 3D element

gives rise to eight elements in the next solution step. This step can be

repeated, leading to a recursive octree-mesh.
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Figure 6.1: Example of the convergence check as performed for the

ball bond - bond pad interface heating simulation. Evolution of the von

Mises stress value near the bond heel with increasing number of elements

introduced by adaptive refinement.

The number of elements required was determined by introducing a

convergence criterion based on the von Mises stress. Here, convergence

of the von Mises stress near the bond heel was taken to monitor overall

convergence. As an example, the influence of the number of elemerrts

used in the ball bond interface heating simulation on the convergence

criterion is shown in Fig. 6.1. After at least five refinement steps, the so¬

lution at the point under investigation could be considered as converged.
Absolute von Mises stress values given in this chapter are determined by
checking the convergence due to mesh refinements as described above.
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6.3 Simulation and Boundary Conditions

The contributions of different sources to the stress at the interface be¬

tween the bond wire and the bond pad that have been calculated were:

• Heating and thermal expansion of the bond wire due to an electric

current.

• Expansion of the substrate.

• Heating of the interface and stress clue to different thermal expan¬

sion coefficients.

• Force on the wire due to electro-magnetic coupling between two

parallel wires.

6.3.1 Bond Wire Heating with an Electric Current

Since bond wires that serve as connections to the IGBTs emitter con¬

tact carry a sizable amount of electric current the influence of the wire's

Joules heat on the irrterfacial stress was investigated. In this first case

a current of 1 Ampère DG was prescribed and the substrate was me¬

chanically fixed. Therefore, the wires flexure clue to their extension was

isolated.

Figure 6.2 indicates the regions with the largest von Mises stresses

in the wire for the wedge-wedge and the wedge-ball bond geometries.

Flexing of the wire results in high stresses at the top of the loop and at

the bond heels. The stress amplitude is dependent on the bending radii

of the wire at that particular region. The smaller the bending radius

the higher the stress. Notice that the stresses are largest at the right
hand side bond and smallest at the left hand side bond.

A further analysis of the stresses at the wedge bond show large

compressive stresses on the upper side of the bond and tensile stresses

on the other side near the bond interface.

The maximal stresses found for the wedge-wedge case were located

at the upper side of the right bond heel and reached 2.5 MPa. Maximal

stresses at the bond interface did rrot exceed f .2 MPa.
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The same analysis was performed for the wedge-ball bond geometry.
The stress distribution was similar to the wedge-wedge case. Again the

largest stresses are located in regions of small bending radii at the loop
top and near the ball bond. The maximal stress found was l.f MPa

but the maximal interfaeial stress was only 0.18 MPa, about one order

of magnitude less than in the wedge-wedge configuration.

2.1 MPa

0.66 MPa

Figure 6.2: Wedge-wedge and ivedge-ball bond connections under cur¬

rent heating (1 Ampère DC). Large von Mises stresses due to fleeing are

indicated in the loop and at the bonds. The stresses are generally lower

m the wedge-ball case compared to the wedge-wedge geometry. Note fhe

refined mesh at the locations of high stress.
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6.3.2 Expansion of the Substrate

Since the structure between the bonds was not included in the FE model,

its behavior had to be accounted for in the boundary conditions. Drrrirrg
operation the submoimt plates and lower layers are heated by the dies,

leading to thermal exparrsion. Furthermore, the dominating material

for this expansion was copper, which forms the base material for the

subassembly where the dies are soldered on.

The amount of expansion of the substrate was estimated by the fol¬

lowing procedure and used as a mechanical boundary condition for the

substrate in the simulation. In the one dimensional form the thermal

expansion is given by the coefficient of thermal expansion, the temper¬
ature difference from the strain free state and the original length of the

struct irre:

L -= 7,0 • (1 + a • AT) . (6.3)

This orre dimensional approximation is valid because the width of the

wire is so much smaller than its length. The following data and assump¬

tion were entered into Eq. (6.3).

• The coefficient of thermal expansion for copper acu is 16.8ppm/K.

• The distance between the bond foots represents the original length
Lq = 8.8 mm.

• As a worst case assumption a temperature swing of AT = f00 K

from the strain free state was used.

Given these data the distance between the bond foots increases by
L — Lq — 14.8 /./m. The mechanical boundary conditions fixed the 'left'

substrate at its position and prescribed a displacement of Àx = 14.8 //m
for the 'right' substrate, with the -f-x-direction starting at the 'left* bond

and heading towards the "right
'

bond.

The results for the wedge-wedge and the wedge-ball bond geometries
are given in Fig. 6.3. Qualitatively the situation in this case is similar to

heating by an electric current, although this time the bending direction

is different. The stress distribution shows maxima in regions with small
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bending radii like in the middle of the loop and near the bonds with the

highest stress corresponding to the smallest bending radius.

The maximal von Mises stress found in the wedge-wedge geometry
was 3.7 MPa (tensile stress) on the uppei side of fhe bond foot while the

maximal interfacial stress at the bond heel was 3.4 MPa (compressive
stress).

Again, the stresses in the wedge-ball case were smaller than in the

wedge-wedge configuration with a maximal stress of 2.2 MPa and a

maximal interfacial stress of 0.24 MPa.

Figure 6.3: Wedge-wedge and wedge-ball bond geometries subject to

substrate expansion (AT — 100/v ). Large von Mises stresses due to

flexing are indicated in the loop and at the bonds. Note the refined mesh
at the locations of high stiess. Similai to the Joule heating case the

wedge-ball bond geometry shows smaller stresses than the wedge-wedge
configuration.
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6.3.3 Stress due to Mismatch of Thermal Expansion
Coefficients

One of the main characteristics of the bond interface is the iact that

the two materials that are joined feat ure different coefficients of thermal

expansion.

To evaluate the stress induced by thermal exparrsion coefficient mis¬

match when heating the interface, a heat somce was placed at the bot¬

tom planes of the molybdenum plates heating the substrate, the inter¬

face and the wire. The prescribed temperature swing AT was 100 "C.

With room temperature as the reference temperature for strain calcu¬

lations this temperature swing represents the maximum junction tem¬

perature (T = 125 °C) for current IGBT devices. Mechanically, the

bottom faces of the molvbdenum plates were fixed in the perpendicular
direction.

As indicated In Fig. 6.4 the maximal stresses are located at the bond

interface. The maximal interfacial von Mises stresses for the wedge-

wedge and the wedge-ball geometries were 91 MPa and 43 MPa, re¬

spectively. These values are more then orre order of magnitude beyond

the stress values obtained by Joule heating and substrate expansion.

Furthermore the stresses due to the CTE mismatch easily exceeded the

elastic limit of aluminum, thus leading to large plastic deformations in

the interface region. The yield stress of the aluminum used for the wire

was less than 30 MPa at room temperature and less than 20 MPa above

temperatures of 100 °C (see Tables 5.2 and 5.3 for the measured yield

stress). Yield stresses of molvbdenum as reported in the literatrne are

above 400 MPa and well above the stresses found here.

The region with the highest stresses was found to be a layer of about

50//m above the bond interface. A detailed analysis of the stiess com¬

ponents that led to these von Mises stresses revealed the dominance of

in-plane shear strains.

6.3.4 Electro-Magnetic Coupling

This fourth case intends to estimate the electro-magnetic interacrion

between parallel bond wires. Since bond wires in IGBT modules can
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3.3 MPa

2.2 MPa

Figure 6.4: Stresses in a Wedge-wedge and a wedge-ball bond configu¬
ration due to CTE mismatch (AT = 100°(7j. The interfacial stresses

induced by the CTE mismatch are more than one order of magnitude

larger than the stresses due to Joule heating and substrate expansion.

They easily exceed the elastic limit of aluminum.

carry currents of several Ampères, the question arises if this con Id lead

to significant forces between the wires.

To approximate the force on two parallel wires with an electric cur¬

rent flowing in the same direction in both wires, the formula for the

force on two infinitely long wires was used:

f = flQ _ (5,4)
lud

This formula includes the force / per unit length on the wire in the

direction perpendicular to the wires, the vacuum permeability constant
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pr0
— 4tt . 10 ~j^j the absolute values of the electric currents li, I>2 and

the distance between the wires d.

For currents of one Ampère each and d = f 0~~3m one obtains a force

per unit length / = 2 • 10
4
—, which is equivalent to a total force of F =

2 • 10 ~6N for the 10 mm long wires. The force was ecpially distributed

over the wire using the 'floating' mecharrical boundary condition. Both

substrates were mechanically fixed in space.

The results are given in Fig. 6.5. The maximal von Mises stresses

are of the order of several Pa and therefore more than six orders of

magnitude smaller compared to the other cases discussed above.

Figure 6.5: Wedge-wedge and wedge-ball bonds subject to forces due

to electro-magnetic coupling between two identical wires (I = 1 A). The

stresses are of the order of several Pa and therefore negligible compared
to the other stress sources investigated.
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Since the force is applied along the wire where it would face its neigh¬
bor the stress at the bond foot is dependent on the distance between

the bond foot and the top of the wire loop, acting as a mechanical lever.

The wedge-ball geometry features a higher loop and therefore a longer
lever, yielding a larger peeling force at the bond foot.

The simulations were performed using only one Ampère DC, al¬

though bond wires in IGBT modules rrright be exposed to currents up

to 5 A. But considering the quadratic influence of the current ampli¬
tude in Eq. (6.4) and the use of linear mechanics, more than 1 kA would

be needed to create stresses similar to the thermo-mechanically induced

stresses.

6.4 Summary and Discussion

Table 6.1 summarizes the results for the four simulation cases showing
the maximum von Mises stresses and the maximum interfacial stresses.

Table 6.1: Simulation results (von Mises stresses)

Simulation

condition

Wedg

Max.

stress

[Pa]

e bond

Interface

stress

[Pa]

Ball

Max.

stress

[Pa]

bond

Interface

stress

[Pa]
Current heating 2.5 • 106 l^t^w^ 1.1- 106 1.8 • lfT^
Substrate expansion 3.7- 106 3.4 • 10b 2.2- 106 2.4 • 105

CTE mismatch 9.1- 107 o.idiT 4.3-107 4.3-107

Em-coupling 1.8 10°^ 4.8TTfF~ 1.4-10° 1.1 -10er"

As can be seen from the values in Table 6.1, the dominant influence

on the interfacial stress between an aluminum wire and a molybdenum
strain buffer is the CTE mismatch. Stresses originating from this source

are more than one magnitude larger than stresses induced by Joule's

heat or expansion of the structure the silicon dies and the bond wires

are mounted on. The electro-magnetic interaction between two wires

should not play any significant role up to currents of several kA.

The values of the von Mises stresses clue to CTE mismatch already
indicate the onset of large plastic deformations near the bond heel and
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bond toe regions.

Generally, the stress levels were higher for the wedge-wedge case

than for the wedge-ball bond geometry. This could indicate that a

bonding technology based on ball bonds on the dies might have an

improved fatigue behavior. Brrt it is very important to notice that

these simulations did not and could not include any parameters of the

actual bonding process and technology. Therefore, an improved fatigue
behavior leading to a longer lifetime could only be achieved with ball

bonds if it were possible to produce ball bonds with quality similar to

the wedge bouds.

Since no fatigue data was available for thick aluminum ball bonds,

all further investigations focus on the lifetime and fatigue behavior of

wedge bonds.
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Comparison between

JP lillTjC— ITilvJJXlvJIlt' O.I10.

Analytical Modeling

7.1 Introduction

As described in section 3.3 the Coffin-Manson fatigue model has to

be calibrated with lifetime data from accelerated laboratory tests and

calculated plastic strains. In this chapter two approaches for the com¬

putation of the plastic strain at the bond interface were employed. One

was a simple analytical formula based orrly on the material properties of

the materials joirred at the bond irrterface and neglecting all geometrical
features. The other method was full 3D finite element modeling of the

bond wire and bond pad. Each method yielded plastic strains that were

used to calibrate the fatigue law.

The calibrated laws were then used to predict the bond wire lifetime

under field conditions. The results of these very different approaches
were then compared and analyzed.

oo
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7.2 Finite-Element Modeling and Simula¬

tion

For the 3D finite element simulations the wedge-wedge bond geometries
shown in Figs. 4.2 and 4.3 were used.

Thermal Dirichlet boundary conditions corresponding to test or field

conditions were applied to the bottom of the molybdenum strain buffer

depending on the type of simulation (calibration or prediction). Me¬

chanically, the bottom faces of the molybdenum plates were fixed in

the perpendicular directions. Static thermal simulations were then per¬

formed to obtain the effective plastic strain distribution of the simulated

geometry. This approach assumes a quasi-static change of temperatures

during the experiments, which is clearly justified for thermal cycling
experiments where typical cycling times are several hours. In case of

the power cycling experiments the experimental cycle times have to be

much longer than the thermal time constant of the tested modules for

the assumption to be valid. This was the case in the tests employed
where cycling times were about 30 s and the thermal time constant of

the assembly was less than one second.

As depicted in Fig. 7.1 two different stress-strain relations (power-
law strain hardening and perfect plasticity) describing the elasto-plastic
behavior of the wire material were used in the FE analysis for further

comparison. The strain hardening power law was measured in air at

room temperature by means of traction tests applied to the bond wires

(see section 5.2). No temperature dependencies of the material prop¬

erties were assumed in all FE calculations as well as in the analytical
approach.

To avoid a mesh dependence of the extracted plastic strains and the

predicted lifetimes the calibration process was performed for a series

of mesh refinement steps that introduced new elements locally at the

bond interface only. Subsequently, the number of refinement steps was

determined at which the predicted lifetime values showed convergence.
The resulting mesh was used in all subsequent simulations.
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Figure 7.1: Stress-strain relations of the wire material used in the FE

simulations — perfect plasticity and power law strain hardening (mea¬
sured data).

7.3 Analytical Modeling

The analytical model was based on the following set of assumpi ions:

• The analytical approach assumed that the mechanical stiain at

the bond interface is dominated by the strain induced due to dif¬

ferences of the CTE (a,, = 2.5 10 6K~~Ï, amo = 5.010 6 K \
aa, = 23.21(r6ÜL*-1. ani =- 18.610^IC1). As discussed in

chapter 6 other influences on the interfacial strain due to flex¬

ure or electro-mechanical interaction are of minor importance and

were not considered in this analysis.

• A special feature of plastic deformations is the volume conser¬

vation. Therefore, for plastic deformations the equivalent strain

Power-Law Hardening
Perfect Plasticity
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perpendicular to the interface is two times the in-plane strain.

• The in-plane strain at the interface is given by the CTE mismatch

and the temperature swing [3]. Therefore, the effective strain

amplitude can be obtained from

Aeeq = 2 Act AT (7.1)

• Pure Al bond wires have a Youngs modulus of about 70 GPa. a

yield stress of less then 30 MPa and a corresponding yield strain

of about 0.2 %. This means that already for a temperature swing

of about fO K the wire material allows plastic deformations. Since

typical temperature swings are larger than 50 K the plastic state is

readily reached. Thus, most of the strain induced by the CTE mis¬

match will be plastic strain, thus justifying the approach. Equa¬
tion (7.1) gets further simplified towards

ep^2AaAT. (7.2)

The expression (7.2) is used in the Coffin-Manson fatigue law (3.31).

7.4 Results and Discussion

Figure 7.2 shows the final lifetime curves obtained by employirrg the

FE simulations with twTo different elasto-plastic characteristics and the

simple analytic approach.

It has to be noted that the elasto-plastic model used in the FE cal¬

culations has a dominant influence on the resulting lifetime prediction.
FE simulations which assunre perfect plasticity predict lifetimes whicli

are 2-3 times higher than simulations including strain hardening.

The results obtained using the simple analytical approach always lie

between the FE results with and without strain hardening. At small

temperature excursions the simple analytical model agrees with pei-

fect plasticity simulations but follows the strain-hardening simulation

at higher temperature swings.

Although the analytical model did not take anv geometrical features

into account and also neglected the elasto-plastic characteristics of the
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bond wire the estimated lifetime was quite near the FE results. The

reason for this result is the calibration process. The variety of tempera¬

ture excursions and material combinations resulted in a sufficient basis

for the linear regression that determined the Coffin-Manson parameters.

I J ! 1 | 1 I [ 1

20 30 40 50 60 70 80 90 100 110 120 130 140 150

AT[K]

Figure 7.2: Predicted number of cycles-to-failure for three ehfferent
models. FE-stmulat/on assuming perfect plasticity predict lifetimes 2-3

times higher then FE simulations using strain hardening. Results from
the analytical approach he between the FE models.

An important issue is the much higher effort needed for FE model¬

ing and simulations both in terms of time and computational resources.

The analytical calculations in contrast can be performed extremely fast.

Unfortunately, the advantage of the analytical approach does not hold

if temperature dependent material properties are considered as will be

shown in the next chapter. FE results neglecting the temperature de¬

pendency of the elasto-plastic material parameters largely underesti¬

mate the lifetime. Consequently, the analytical calculations are much

too pessimistic in contrast to FE simulations considering more realistic
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material properties. Nevertheless, in cases were elasto-plastic rrraterial

properties are not well known the analytical approach can give a first

idea of the lifetime curves without time-consuming and expensive finite-

element computations.



Chapter 8

Parameter Influence on

the Predicted Lifetime

8.1 Introduction

In the preceding chapter the step from a simple analytical approach to

3D finite-element simulations without temperature dependent material

properties was made. In this chapter the influence of the temperature

dependencies of the elasto-plastic material law and the CTE will be

examined. Furthermore, the influence of the module failrrre criterion

(MFC) introduced in section 3.3.3 is analyzed. This chapter begins with

a detailed description of the mesh refinement process and discusses the

convergence of the estimated lifetime value with increased refinement.

Since the temperature dependencies of several rrraterial properties
are considered, the concept of a stress free temperature becomes impor¬
tant. Without any temperature dependencies only temperature differ¬

ences matter and the stress free state is usually taken as 300 K. Section

8.4 will extend the fatigue calibration process introduced in chapter 3

by including the stress free state temperature.

Another parameter considered in the analysis is the scatter of the

measured lifetime data. Therefore, all lifetime models will be calibrated
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using a minimum, a maximum and a typical lifetime.

Finally, the different parameters were varied systematically and life¬

time predictions performed for wires bonded on molybdenum and on

silicon.

8.2 Simulation Geometries and Boundary
Conditions

Again, the FE model employed in this chapter is the wedge-wedge bond

geometry of Figs. 4.2 and 4.3.

Thermal Dirichlet boundary conditions corresponding to test or field

conditions were applied to the bottom of the molybdenum strain buffer

depending on the type of simulation (calibration or prediction). Me¬

chanically, the bottonr faces of the molybdenum plates were fixed in

their perpendicular directions. Static thernral simulations were then

performed to obtain the effective plastic strairr distribution.

8.3 Mesh Refinement and Convergence Be¬

havior

In order to obtain a sufficient accuracy of the simulation result the FE

model was locally refined near the bond interface. This refinement is

essential since the plastic strain used in the fatigue model was extracted

from the finite element in the first layer of aluminum elements closest

to the bond heel. Experimental [9] and numerical [11] investigations
identified the bond heel as the most important location of crack ini¬

tiation and major crack growth. From a numerical point of view this

singular location is subject to very high stress intensities and therefore

the evolution of the result with increasing refinement level had to be

investigated.

Therefore, simulât ions representing the experimental conditions of

the fatigue experiments already described, were performed at different

refinement levels and the effective plastic strain extracted.
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These effective plastic strains were subsequently used for the fatigue
model calibration. Then the predicted Nf at a given refinement level

was divided by the result of the highest refinement level to indicate the

relative change. All results below were obtained using a FE mesh with

about 22500 nodes. In that configuration, nearly 90 per cent of the

nodes were located in the interface region. To ensure compatibility of

the results within the calibration stage and the prediction phase, manual

instead of automatic mesh refinement was used.

Figure 8.1 shows the mesh dependence of the normalized number

of cycles to failure for an aluminum bond wire on molybdenum at a

maximum temperature of f 00 °C and local mesh refinement at the bond

interface.

>
c

o
o

5000 10000 15000

Mesh Nodes [1]

20000 25000

Figure 8.1: Mesh dependent y of the predicted lifetime for an aluminum

bond wire on molybdenum at a maximum temperature of 100 C using

local mesh refinement at the bond interfile e.
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8.4 Fatigue Model Calibration

The calibration of the fatigue model is the key step in the analysis

since it combines both experimentally obtained fatigue data and plas¬

tic strains from finite element simulations. Three parameters must be

determined: First, a and p from the Coffin-Manson relation given in

(3.31). Secondly, the stress free state temperature Tf for the compu¬

tational FE model. Tf is normally not considered and therefore the

inclrrsion of this important parameter shall be discussed in more detail.

Initial investigations found the stress free state temperature to be

at about 250 K. This is near the minimum temperature employed in

the fatigue experiments of about 220 K. Maximum temperatures range

from 370 K to 420 K. The maximum stresses and strains occur at the

maximum temperatures. Hence, to reduce the computational effort,

orrly the effective plastic strairrs at the upper temperature limits were

used. In simulations representing experiments with both temperature

limits above 300 K, the difference of the effective plastic strains at these

two temperatures was entered into the Coffin-Manson Eq. (3.31).

The strategy employed was first to determine a and p for different

Tf values by using the experimental data from passive thermal cycling

experiments. From these results the set of parameters that was able

to predict the lifetime measured with power cycling experiments was

chosen.

After plotting the computed effective plastic strains versus the mea¬

sured numbers of cycles-to-failure the Coffin-Manson law was least-

squares fitted to these data at a certain stress free state temperature.

The resulting law was then used to predict the lifetime measured with

power cycling experiments. The normalized estimated lifetime versus

the process temperature is depicted in Fig. 8.2 for three different mod¬

ule failure criteria and temperature dependent material properties with

the stress-strain curves of aluminum measured in air.

The values 0.9 and 1.1 represent the lower and upper bound of fhe

measured lifetime and 1 is a tvpical value. E.g., the calibrated Coffin-

Manson law for a 20 % module failure criterion using a If of 2 14 K

reproduced the typical measured lifetime. Furthermore. Fig. 8 2 shows

the high Tf -sensitivity of the estimated lifetime value.
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Figure 8.2: Normalized estimated lifetimes versus the stress free tem¬

perature for three different module failure criteria and temperature de¬

pendent material properties with the stress-strain curves of aluminum

measured in air.

In such way calibrated fatigue models for temperature dependent
and temperature independent CTEs and elasto-plastic material laws of

aluminum, for three different module failure criteria (20%. 50% and

100%) and for three lifetime values from the power cycling experiments

minimum, maximum and typical lifetime) were obtained.

8.5 Lifetime Prediction

The calibrated fatigue laws were applied to predict the IGBT module

lifetime. Lifetimes were always calculated for temperature swings AT

ranging from 20 K to 130K with respect to room temperature. The
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curves showing the number of eye les-to-failure versus the temperature

swing will be also referred to as lifetime curves.

From an engineering point of view these curves contain the essence

of the lifetime information. Combined with characteristic temperature

distributions of the actual applications (e.g., elevator or locomotive etc.)
the real lifetime might be calculated.

To maintain the confidentiality of the lifetime data no numbers are

given on all lifetime curve orclinates.

8.5.1 Uncertainties in Measured Bond Wire

Lifetimes

The measured bond wire lifetime data obtained from the power cycling

experiment exhibited an uncertainty of about 10%. Since these ex¬

periments were used to determine the stress free state temperature and

therefore strongly affect the Coffin-Manson parameters its influence was

studied.

The results shown in Fig. 8.3 were calculated using temperature

dependent stress-strain curves measured in air. temperature dependent
CTEs and a module failure criterion of 20%. The wire was bonded to

molybdenum. The free parameter in this case was the lifetime extracted

from the power cycling experiment referred to as minimal, typical and

maximal lifetime.

The minimal and maximal curves deviate from the typical lifetime

curve by about 10%. Therefore, the uncertainties in the measurements

have a direct impact on the accuracy of the predicted lifetime curve.

Qualitatively similar results were obtained for wires bonded on sil¬

icon as well as for all other combinations of material properties and

module failure criteria.

The differences between bonds on molybdenum and silicon are shown

in section 8.5.5.
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Figure 8.3: Number of cycles to faihne as a function of tempi rature

swing for temperature dependent stie ss-sturm curves for aluminum mea¬

sured m air, temperature dependent CTEs and a module failure criterion

of 20 %. The wire was bonded to a molybdenum strain buffer.

8.5.2 Module Failure Criterion

As defined in chapter 3 the module failure criterion (MFC) determines

the number of wires allowed to fail before the entire module is considered

to have failed.

Setting the MFC value is quite an arbitrary act. Therefore the

influence of the MFC on the lifetime curve should be well known To

get a grip on this problem MFCs of 20 %. 50 % and 100 % were selec ted

during the fatigue model calibration step.

A typical representative of the resulting lifetime curves is deputed
in Fig. 8.4. For its calculation the stress-sham cuive was tern per a hue
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dependent and measured in air, while a typical lifetime obtained from

the power cycling experiments was used for the stress free state calibra¬

tion and a temperature dependent CTE was employed. The wire was

bonded to a molybdenum strain buffer.

The crossover of the curves around a AI*1 of 65 K occurs because

the predicted lifetime in this region is determined by the stress free

state calibration. During this calibration the specific stress free state

temperature was selected wdrioh reproduced the lifetime results obtained

from the power cycling experiments. The reason for the deviation below

and above the crossover originate from the standard calibration process

where the Coffin-Manson law is lcast-squares-fitted to the Nf/cp data.

In this regression step small imperfections are introduced that get mag¬

nified when the extrapolation towards smaller temperature swings is

made in the prediction step.

Within the temperature range under investigation the maximum

difference between the lifetime curves is about 3 times the results of the

100% curve towards low temperatures.

Lifetime curves obtained with other combinations of material prop¬

erties and lifetimes exhibit the same qualitative features as the one

shown. The same holds for the comparison between wires bonded on

molybdenum and silicon. This case is discussed later in more detail.

8.5.3 Temperature Dependent Elasto-Plastic

Properties

Next the difference of using temperature dependent versus temperature1

independent stress-strain curves is investigated. Furthermore, the in¬

fluence of different temperature dependent elasto-plastic behaviors that

arise from measuring the stress-strain curves in air or nitrogen atmo¬

sphère is studied.

As presented in section 5.2 pure aluminum as used for the bond

wire show significant thermal softening with increased temperatures

Furthermore, measurements in air revealed that oxidation of the wire

surface leads to a measurable stiffening of the wire compared to mea¬

surements in nitrogen atmosphere.
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Figure 8.4: Number of cycles to failure as a function of tempera¬

ture swing for temperature dependent stress-strain curves for aluminum

measured in air. Temperature dependent CTEs and typical measured

lifetimes from power cycling experiments were used for the stress free
state calibration. The wire was bonded to a molybdenum strain buffer.

Figure 8.5 compares the lifetime curves obtained using temperature

dependent stress-strain curves measrrred in air arrd rritrogen atmosphere

as well as with without any temperature dependencies. For the temper¬

ature independent simulations the stress-strain curve at 20 °C measured

in air was used.

Temperature dependent simulations were also performed with tem¬

perature dependent CTEs while the temperature independent simula¬

tions used the CTE values at room temperature. As in the other cases

all other parameters were fixed. In particular. Fig. 8.5 was obtained by

using typical lifetimes for the stress free state calibration and a 20%

MFC. The wire was bonded to a molybdenum strain buffer.
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Simulations employing temperature dependent properties predicted

higher lifetimes at smaller AT's compared to the temperature indepen¬
dent case. In the low AT-region lifetimes obtained without tempera¬
ture dependencies reach about 70% of the 'air'-results and 10% of the

'nitrogen'-lifetimes, respectively. Therefore, neglecting the temperature

dependerrcies of the rrraterial parameters leads to a too conservative

lifetime estimation.

Varying the module failure criterion and the lifetimes for the stress

free state calibration vield lifetime curves that are similar to the curve

shown. Again, the special case of bonding to silicon is discussed below.

CO
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with temperature dependency (air)
with temperature dependency (nitrogen)
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Figure 8.5: Number of cycle$-to~ failure as a function of temperature

swing for temperature dependent and temperature independent material

properties. A constant MFC of 20 % and typical lifetimes for thi stress

free stale calibration was used. The wire was bonded to a molybdenum

strain buffa.
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8.5.4 Temperature Dependent CTE

In the preceding section the difference between using temperature de¬

pendent material properties and temperature irrdependent properties
was discrrssed. Now the influence of the temperature deperrderrt CTE

shall be isolated.

In both cases the temperatrrre dependent elasto-plastic law for alu¬

minum measured in air was used. As shown in Fig. 8.6, the largest
difference is smaller than 25%. This is much less than the influence of

the module failure criterion or the choice between temperature depen¬
dent or temperature independent nonlinear laws.

The simulation shown was performed with a MFC of 20 % and typ¬
ical lifetimes for the stress free state calibration. The wire was bonded

to a molybdenum strain buffer.

8.5.5 Molybdenum versus Silicon

Until now all sections in this chapter focused on bonding the aluminum

wire to a molybdenum strain buffer. Although bonding directly to sili¬

con would lead to qualitatively similar results the interesting difference

lies in the absolute numbers. These numbers directly tell which version

would be superior to the other in terms of fatigue lifetime. With all the

knowledge already gathered it is easv to tell that bonding to molybde¬
num will lead to better results because of the smaller CTE mismatch

between aluminum and molvbdenum. Nevertheless, the following com¬

parisons should give a better basis for this judgment.

The case shown in Fig. 8.7 compares the lifetimes for wires bonded

to molybdenum and to silicon. A MFC of 20 % and typical lifetimes

for the stress free state calibration as well as temperature dependent
material properties were used.

Lifetimes computed for the bonds on molybdenum were about three

times larger in the low AT region and aborrt 1.5 times larger in the high
AT region then for bonds on silicon. This confirms quantitatively what

was expected.
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Figure 8.6: Number of cycles to failure as a function of temperature

swing showing the influence of the temperature dependency of the CTE.

A MFC of 20 % and typical lifetimes for the stress free state calibration

was used. The wire was bonded to a molybdenum strain buffer.

8.5.6 Stress Free State Temperatures

Usually, the stress free state is not considered. There was no reference

found in literature in the field of bond wire reliability that took this

important value into account.

The common value assumed here is 300 K. For many systems there

are good reasons to choose this value. The system might have relaxed

mechanically since its composition, or the material joints are far away

from interesting sections, so that the influence might be negligible. Both

arguments do not apply hi our case. Creep as the main relaxation mech¬

anism is nruch to slow to reduce stresses considerably and the section of

co
+^

"c

CO

CO



CHAPTER 8. PARAMETER INFLUENCE ON
...

73

20 30 40 50 60 70 80 90 100 110 120 130

AT IK |

Figure 8.7: Number of cycles to failure as a function of temperature

swing showing the influence of the bond pad material. A MFC of 20 %.

typicerl lifetimes for the stress free state calibration and temperature de¬

pendent material properties were used.

interest is the interface between the aluminum bond wire and the bond

pad. Therefore none of these arguments hold for the bond wire connec¬

tion. But apart from these qualitative reasons, the strong dependency
of the predicted lifetime on the stress free state tenrperature found and

shown at the beginning of this chapter emphasizes the need to include

it in the calibration and prediction process.

Table 8.1 summarizes the different Tf values found for the different

combinations of material and fatigue data. Depending on the said com¬

bination Tf lies between 230 K and 260 K. well below room tempei at are.
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Table 8.1: Stress free state temperatures If for the different combina¬

tions of material and fatigue data investigated. MFC1 — Module Failure

Criterion.

max. typ. min.

No temperature dependency
MFC =- 20 %

MFC = 50 %

MFC = 100 %

255.0 K

251.8 K

249.5 K

256.5 K

253.0 K

251.0 K

257.5 K

254.5 K

252.0 K

Temperature dependency
measured in air

MFC = 20 %

MFC - 50 %

MFC -- 100 %

242.8 K

239.0 K

235.8 K

2 14.0 K

240.5 K

237.5 K

245.7 K

242.4 K

239.5 K

Temperature dependency
measured in N2

MFC - 20 %

MFC - 50 %

MFC = 100 %

237.8 K

233.1 K

229.8 K

239.4 K

235.3 K

231.7 K

241.0 K

237.4 K

234.0 K

8.6 Summary

The study presented in this chapter investigated the influence of dif¬

ferent parameters on the predicted lifetinre of aluminum bond wires

bonded on molybdenum strain buffers or silicon [73].

Since temperature dependent material properties were used in the

3D finite element simulations the stress free state temperature became

important. Therefore it was included into the Coffin-Manson lifetime

model. The stress free state temperature Tf turned out to be an ex¬

tremely sensitive parameter and its accurate determination was found

to be essential. Depending on the combination of parameter s Tf was

found to be in the range of 230 K to 260 K.

To calibrate Tf additional measured lifetime data obtained from

power cycling tests was used. Data from these tests exhibited an uncer¬

tainty of about 10%. It was found that these 10% propagate through
the calibration and prediction process. Predicted lifetimes showed the

same uncertainty when a minimal, typical and maximal measured life-
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time was used in the fatigue model calibration.

À module failure criterion MFC was defined to derive the module

lifetime from measured bond wire lifetimes. The MFC is an arbitrarily
fixed number. It determines how many bond wires in the module are

allowed to fail before the errtire module is considered having failed. Its

influence was investigated by setting MFCs of 20%, 50% and 100%.

The MFC has a strong impact on the predicted lifetime with results

varying by a factor of three for small tenrperature swings.

The influence of the temperature dependencies of the stress-strain

curve used to describe the elasto-plastic behavior of aluminum and the

temperature dependency of the CTE was studied. Furthermore, the dif¬

ference of stress-strain curves measured in air and nitrogen atmosphere

was investigated. It turned out that simulations employing temper¬

ature dependent properties predicted higher lifetimes at smaller ATs

compared to the temperature independent case. In the low AT re¬

gion lifetimes obtained without temperature dependencies reach about

70% of the 'air'-resuits and 40% of the nitrogen'-lifetimes, respectively.

Therefore, neglecting the temperature dependencies of the material pa¬

rameters leads to a much too conservative lifetime estimation. In con¬

trast the largest lifetime difference due to temperature dependent or

independent CTEs was smaller than 25%.

Bonding the aluminum wire to molybdenum yields lifetimes about

three times larger in the low AT-rcgion and about 1.5 times larger in

the high AT-region than for bonds on silicon.



Conclusions

1. Linear thermo-mechaiiieal finite element simulations revealed that

mechanical stress levels in ball bonds were smaller than in wedge
bonds. This would suggest that ball bonds could exhibit a fatigue
lifetime superior to wedge bonds if the initial quality of the ball

bonds is comparable to the wedge bonds.

2. The plastic strains used in Coffin-Alarrson lifetinre models were

computed using a simple analytical approach and 3D finite ele¬

ment simulations without temperature dependent material prop¬

erties. Although the analytical model did not take into account

any geometrical features and also neglected the elasto-plastic char¬

acteristics of the bond wire the estimated lifetime was quite near

the FE results. Therefore, if the elasto-plastic material behavior

is not well known, the analytical approach should be used since

the computational effort is virtually non-existent compared to the

time consuming FE simulations.

3. If it is possible to obtain temperature dependent stress-strain

curves of the bond wire material thev should be employed in the

finite element simulations. Neglecting them would result in pre¬

dicted lifetimes that are too conservative. The use of temperature

dependent CTE values is recommended, although its influence is

not so strong.

4. The accuracy of the measured lifetimes used in the calibration of

the Coffin-Manson law directly translates to the accuracy of the

predicted lifetimes.

5. The usual calibration process of the Coffin-Manson model is irr-

76
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SLifQcierrt if FE simulations with temperature dependent material

properties are employed. The stress free state temperature proved
to be an additional important and extremely sensitive parameter.

6. IGBTs are usually contacted with up to ten parallel bond wires.

Due to this redundancy, the failure of one bond does not lead to

instant failure of the module. A module failure criterion (MFC)
was defined to derive the module lifetime from borrd wire life¬

times. Since the MFC has an important influence on the predicted
lifetime it should be used in a consistent manner if results from

different lifetime investigations are to be compared.

7. Material properties arrd measured lifetimes for the fatigue model

calibration show strong influences on the predicted lifetime. Con¬

sequently it is absolutely necessary to work with consistent sets of

material properties and lifetime data. If the predicted lifetimes for

a given bonding technology arc expected to be meaningful then

only data related to this specific technology should be employed.
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